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Abstract—This paper studies the effects of the heat diffusion ability of a rubbing material on wear resistance at high temperatures.
These effects are studied with a special focus on the dilution of thermal energy in sliding. The results suggest a correlation between
wear transition and the change in the heat transfer limit of a rubbing material. The nature of change in the thermal properties before
and after the transition influences the thermal environment within the contacting layers. This controls the kinetics of oxide formation
and thereby controls wear. Thermal dilution is a super position of three functions which represent the competing effects of the room
temperature thermal properties and their respective variation with temperature. Hence, the change in the thermal properties bears
on dilution. The possible relation between thermal dilution and protective oxide formation is studied by examining fretting wear
data for two alloys: a Ni-based alloy and a Co-based alloy. Results indicate a strong correlation between the formation of protective
oxides and the change in the dilution of thermal energy of the examined alloys with temperature. Moreover, examination of the
wear data suggests that a critical ratio between the effects of the conductivity and those of the diffusivity has to be established for
favorable wear resistance. This ratio reflects on the intrinsic ability of the material to sustain an oxidative reaction of a controlled
rate in which protective glaze oxide layers are formed in a rate that is approximately equal to the rate of oxide layer break down.
Therefore, continuous compensation for the removed oxide layer (self-repairing oxides) is established in such a case.  2001 Éditions
scientifiques et médicales Elsevier SAS
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Nomenclature

Aa area of conduction . . . . . . . . . m2

Ar real area of contact between the
sliding solids . . . . . . . . . . . . m2

B0 thermal effusivity . . . . . . . . . W·m−2·K−1·s1/2

p average contact pressure . . . . . N·m−2

Qdiss rate of total heat diffusion away
from the surface . . . . . . . . . . W

Qgen rate of total heat generation at the
surface . . . . . . . . . . . . . . . W

Uslid sliding speed . . . . . . . . . . . . m·s−1

Zp diffusion length . . . . . . . . . . m
Zpmax depth from the surface at which

a temperature rise 1 % of that at the
surface is felt . . . . . . . . . . . . m

k0 reference thermal conductivity . . W·m−1·K−1

qa rate of instantaneous heat diffusion
by an individual pair of contacting
asperities . . . . . . . . . . . . . . W

E-mail address: haabdela@excite.com (H.A. Abdel-Aal).

qres amount of residual heat . . . . . . . . . . . . W
ra radius of the contact spot between two

contacting asperities . . . . . . . . . . . . . . m
tc duration of a single contact cycle . . . . . . . s

Greek symbols

α thermal diffusivity of the material . . . . . . . m2·s−1

β temperature coefficient of the thermal
conductivity . . . . . . . . . . . . . . . . . . . K−1

ηa efficiency of an asperity pair to dissipate heat K
θb bulk temperature rise . . . . . . . . . . . . . . K
θs instantaneous temperature rise at the center of

contact spot between two asperities . . . . . . K
θmax maximum potential temperature rise at the end

of the contact cycle . . . . . . . . . . . . . . . K
θm melting temperature . . . . . . . . . . . . . . K
θZ temperature rise at a depth Z from the surface K
µ nominal coefficient of friction
σy yield strength of the material . . . . . . . . . MPa

Acronyms

HDC heat diffusion capacity
RRH ratio of residual heat
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MAL mechanically affected layer (equivalent to heat
transfer limit)

1. INTRODUCTION

Frictional heat generation at the interface between
a rubbing pair may induce gross structural changes
within each of the rubbing materials. Such changes may
include thermochemical transformations, absorption of
gases, depending upon the temperature attained, and
protective oxide-layer formation, all of which are related
to the wear resistance of rubbing materials operating at
high temperatures. It is, therefore, possible that frictional
heating can play an important role in enhancing (or
degrading) the elevated temperature wear resistance of
surfaces. The possible detrimental effects of friction
induced heat on wear has recently become a focus of
several investigations, the results of which imply a strong
correlation between frictional heat accumulation within
the mechanically affected layer, MAL, and the transition
in wear (mild-to-severe, severe-to-mild, etc.).

Bian et al. [1] recognized that the thermal induced
change in a sliding system is an important factor that de-
termines the tribological integrity of a rubbing material.
Hence, these authors attempted to link scuffing to fric-
tional heat input. They deduced that the contact tempera-
ture is the primary factor that determines the mechanism
and rate of wear. Frictional heat (termed also as frictional
power) input to the rubbing pair was the basis for sev-
eral scuffing models which were reviewed by Dayson [2].
Meng [3] suggested that for every sliding system there is
a critical frictional-power input. If the operation condi-
tions are such that the frictional power input to the sys-
tem is less than the critical limit, scuffing (or tribo-failure
in general) may be avoided, whereas if that input exceeds
the critical limit thermal tribo-failure most likely will take
place. The ideas of Meng were modified by Jeng [4] who
considered that scuffing is the consequence of the disori-
entation and the desorption of the protective films formed
during sliding due to the intensity of frictional heat in-
put exceeding a critical limit. Thus, according to these
models, frictional-heat input, in itself, is not the cause
of the failure. Rather, it is the efficiency of heat removal
from the interface to the bulk of the material that may be
catastrophic. That is, if frictional heat removal is in bal-
ance with frictional heat generation thermal failure may
be avoided and vice versa.

The idea that tribo-failure is related to the efficiency
of heat removal is not new to tribo-analysis. For exam-
ple, Blok [5, 6], with no experimental evidence, used this

idea as a basis for his proposal concerning the constancy
of scoring temperatures. Many investigators echoed the
same idea in their work. Others have supplied experi-
mental evidence supporting the connection between the
accumulation of frictional heat within the MAL and wear
regime transition. Wang [7] performed abrasion experi-
ments on hardened 35 Mn2 steel specimens on a dry sand
rubber wheel tester at a variety of loads and speeds. The
author considered the appearance of tongues on the worn
tracks as evidence of frictional heat accumulation on the
steel specimen surface. Due to heat accumulation, the
hardness decreased and wear regime transition, from soft-
abrasive to hard-abrasive, took place. Singh and Alpas [8]
observed that the surface temperature of a wrought alu-
minum alloy (6061AL) worn against an SAE 52100 steel
counter face reached a constant value of 395 ± 10 K at
the onset of mild-to-severe wear transition. This obser-
vation was equally valid for both velocity induced and
load induced transitions. Therefore, Singh and Alpas sug-
gested that attainment of a critical temperature is a neces-
sary condition for wear transition. Further evidence sup-
porting this preposition were provided by Zhang and Al-
pas [9] who studied the wear transition of the same ma-
terial configuration used in [8] both in dry sliding con-
ditions and under the effect of forced cooling. When the
aluminum sample was slid for 500 m at a test load of
98 N and a speed of 0.8 m·s−1 without cooling the criti-
cal temperature was exceeded and a mild-to-severe wear
transition was observed. However, when the aluminum
samples were worn under the same load and speed, but
were subjected to forced cooling (by circulating chilled
water around the sample holder), the critical tempera-
ture was not reached, and no transition was observed. In-
terestingly, moreover, Wilson and Alpas [10] noted that
the critical temperature measured in [8, 9] corresponded
to the average temperature of a layer of material about
10–100 µm below the nominal contact surface. This
depth correlated well with the scale of material that was
subjected to deformation and plastic damage during wear
(i.e., the MAL). The authors also calculated the flash and
the bulk temperatures for the loads and speeds used in
their experiments using the method suggested by Lim
and Ashby [11]. They found that at all loads and speeds,
near the transition, the theoretically calculated bulk and
flash temperature contours merged into each other. This
implied a drop in the heat transfer limit of the material
within the mechanically affected layer. The findings re-
ported in [10] support an earlier postulate made by Buck-
ley [12] who performed several experiments to inves-
tigate the dry sliding of copper and bronze specimens.
Based on his measurements, Buckley postulated that dur-
ing sliding, the heat transfer ability of the contacting lay-
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ers (interface and substrate) is affected by the surface
temperature rise. So that, after a period of continuous
sliding, heat will accumulate within the contacting layers,
hence leading to both the bulk and the flash temperatures
becoming equal. The work reported in [1–11], among
others, implies that for each material there is an intrinsic
heat transfer (diffusion) limit. When the frictional heat
input to the sliding pair exceeds the heat transfer limit of
the material failure is likely to occur and vice versa. As
such, the criterion for thermally-dominated tribo-failure
may be expressed in terms of an equilibrium between the
heat generated by friction and the intrinsic heat transfer
limit of the sliding pair. That is the ability of the sliding
material to diffuse the friction induced thermal load.

The conjecture that an equilibrium between frictional
heat generation and the heat transfer limit of a wearing
material is a necessary condition for high temperature
wear resistance was examined by Abdel-Aal [13, 14]. It
was found that the balance between heat generation and
heat diffusion by a rubbing pair is, in essence, an equi-
librium between the influence of the diffusivity and that
of the conductivity (and their respective variation with
temperature) on frictional heat transfer. Moreover, it was
established [13] that the equilibrium between the effects
of the thermal properties is strongly correlated to the self
repairing properties of the protective oxide layers formed
during sliding. That is the intrinsic ability of the mater-
ial to sustain an oxidative reaction of a controlled rate in
which protective glaze oxide layers are formed in a rate
that continuously compensates for the amount of oxide
depleted by friction. The equilibrium between thermal
property effects bears on the dilution of the frictional
heat due to thermal diffusion within the contacting layers
of the material. Dilution is also a measure of the inten-
sity (concentration) of heat within the contact area and
its immediate vicinity. For the purpose of this work the
term thermal dilution is taken to indicate the variation of
heat intensity (amount of super heating) within the con-
tact area.

The heat contained within a certain volume of the
material is a function of temperature. Wear resistance
of the material (or more precisely, wear regime transi-
tion [14]) is a function of a critical temperature rise being
reached. As such, it is logical to conjecture a connection
between an associated critical heat intensity (or alterna-
tively, thermal dilatation) and the wear resistance at el-
evated temperatures. This connection, in essence, may
explain the mechanistic influence of heat intensity on
providing a suitable thermal environment that aids the
growth of protective oxide layers.

This paper investigates the role of the thermal trans-
port properties on thermal dilution within the mechani-
cally affected layer of a rubbing material, and the effect
of this dilution on protective oxide formation during rub-
bing. The first part of the paper examines the individual
role of each of the thermal properties, and their respective
variation, on thermal dilution, whereas the second part
examines the conjecture that thermal dilution is related
to protective layer formation. This is achieved by examin-
ing fretting wear data of two alloys: a nickel-based alloy
(Ni-20Cr-2Al) and a cobalt-based alloy (Haynes-188) in
light of a thermal dilution–temperature curve.

2. THE AMOUNT OF HEAT DISSIPATED
BY A SINGLE ASPERITY

The amount of heat flowing away from the contact
spot into a solid during the time interval (t1, t2) is given
by [15]

qt1–t2 =
∫ t2

t1

[∫
A

k
∂θ

∂η
(r, t) dA

]
dt (1)

Heat flow within the contacting layers is predominantly
one-dimensional. As such, equation (1) may be written,
for a nominally flat contact spot in the (X, Y ) plane, in
the familiar form

qa = −k
∂θ

∂Z

∣∣∣∣
Z=0

A (2)

In a sliding solid, the maximum temperature is reached
at the nominal contact surface. This implies that the ther-
mal properties of the material at the surface, depending
on the temperature difference between the surface and
the bulk, will be different. To incorporate the effect of
the temperature-induced variation in the thermal proper-
ties on the surface temperature, the so-called Kirchhoff
transformation is applied. As detailed elsewhere [16], this
transformation acts as a correction to the constant prop-
erty solution of the heat equation. Thus, if the constant
conductivity surface temperature is given by [4]

Us(t) = 2qgen

k0

[
αt

π

]1/2

(3)

then the variable thermal conductivity solution will be
given as [15]

θs(Z, t) = 1

β

[{
1 + 2βUs(Z, t)

}1/2 − 1
]

(4)
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Differentiating equation (4) with respect to the depth Z

we may write

∂θ

∂Z
(Z, t) = ∂U

∂Z
(Z, t)

∣∣∣∣
Z=0

{
1 + 2βU(Z, t)

}−1/2 (5)

Substituting from equation (4) into equation (5), the re-
lation between the variable and the constant conductivity
temperature gradient assumes the form

∂U

∂Z
(Z, t) = ∂θ

∂Z
(Z, t)

∣∣∣∣
Z=0

{
1 + βθ(Z, t)

}−1/2
(6)

Finally, upon substituting equation (6) into equation (2)
the temperature dependent amount of heat penetrating to
the contacting layer of the rubbing solid takes the form

qa(θ) = K0
{
1 + βθ(Z, t)

} ∂θ

∂Z
(Z, t)

∣∣∣∣
Z=0

(7)

Equation (7) may be rewritten, for one-dimensional heat
conduction, as [18]

qa(θ) = γ k0{1 + βθ}
[

θs − θb

Zpmax

]
(8)

where γ is a constant approximately equal to 3.57. Now,
if the bulk temperature θp is defined as the temperature
rise of the solid taking place at the boundary of the
thermal layer (which is practically equal to the initial
temperature) then θb ≈ θ(Zp) ≈ 0. Thus, for practical
purposes we may write

qa(θ) = {1 + βθ}
[

θs

Zpmax

]
γ (9)

Equation (9) represents the amount of heat that pene-
trates through the contact spot into the rubbing material.
The equation accommodates the variation in the thermal
conductivity of the material with temperature through the
incorporation of the temperature coefficient β . As it may
be noticed, the sign of the β coefficient affects the amount
of heat transferred to the bulk of the material. If the con-
ductivity drops with temperature, the amount of heat pen-
etrating through the material will decrease with temper-
ature elevation. This situation highlights the role of the
mating material. That is, if the conductivity of the mating
material drops with temperature as well, then it is likely
that the generated heat will not be completely dissipated
into both materials and heat will accumulate within the
contacting layers. Here, if the conductivity of the mating
material increases with temperature, the mating material
may share a higher thermal load. Hence, depending on

the ability of the mating material to dissipate heat, ther-
mal accumulation may be avoided (or regulated). It has
to be noted, however, that heat accumulation is not neces-
sarily destructive. Rather, heat accumulation can raise the
amount of heat contained within the contact spots. This
heat may create a suitable ambient environment that helps
interfacial gases to surpass the energy barriers necessary
for sustaining an oxidative reaction. In this sense, heat
accumulation may promote the formation of a protective
oxide layer. Naturally, there are limitations to the benefits
of heat accumulation. Moreover, there are intrinsic con-
straints to the increase of heat content. These are imposed
by the change in the thermal properties with temperature
and the impact of that change on the ratio between the
conductivity and the diffusivity (ρCp). In that respect, it
is beneficial to recall the fundamental definitions of the
subject thermal transport properties, these being: the con-
ductivity is the property responsible for transmitting heat
from a source to the immediate vicinity of the contact
spot; and the diffusivity may be considered as the speed
by which the transmitted heat diffuses through a particu-
lar area. As such, to maintain the intensity level necessary
for protective layer formation, it is necessary for the con-
ductivity to overcome the diffusivity effects at all temper-
atures. That is, fundamentally, thermal dilution should be
at a minimum at all temperatures.

3. THE PENETRATION DEPTH OF
A TEMPERATURE STEP

To estimate the thickness of the thermal layer, Zp,
consider that the material and its surface are at some
given initial temperature, θ0. At time t+0 the surface
is set to a temperature θs. Now, define a normalized
temperature θ that represents the ratio of the temperature
rise at a depth Z, to the surface temperature. The
temperature field in the material expressed in the new
parameter may be written as

∂θ

∂t
= α

∂2θ

∂Z2 (10)

with the boundary conditions

θ = 0, t < 0, 0 < Z < ∞
θ = 1, t > 0, Z = 0

(11)

The solution to this problem is [15]

θ = 2√
π

∫ ∞

ξ

exp
{−ξ2}dξ = erfc(ξ) (12)
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where

ξ = Z

2
√

αt
(13)

Equation (12) represents the response of the material
to a surface temperature step originating at the surface,
where the maximum response corresponds to θ = 1,
while no response is θ = 0, i.e., 0 < θp < 1. The equation

θp = 2√
π

∫ ∞

ξ

exp
{−ξ2}dξ = erfc(ξp) (14)

has the solution ξp , unique to a particular θp . Hence, the
maximum penetration depth may be written (after using
erfc(2) ≈ 0.0047) as

Zpmax = Z0.01 � 4
√

αt (15)

Substituting from equation (15) into equation (7), and
assuming a linear variation in the diffusivity with tem-
perature of the form α(θ) = α0(1 + δθ), the amount of
heat dissipated through the surface of true contact may
be written as

qdiss

Ac
= − k0

4
√

α0

(1 + βθs)θsγ

[(1 + δθs)tc]1/2

= − B0γ (1 + βθs)θs

4[(1 + δθs)tc]1/2 (16)

Plotting equation (16) as qdiss/Ac versus temperature
θs results in a curve that represents the variation in the
HDC with temperature. As pointed out elsewhere [18],
the maximum HDC may not necessarily be equal to the
amount of heat generated at the surface. To investigate
the influence of the transport properties, the change in
the slope of the HDC is evaluated, this is written as [19]

1

Ac

∂qdiss

∂θs
= F1 + F2θs + F3θ2

s (17)

where

F1 = γ B0√
t

1 + 2βθs

[1 + δθs]3/2
(18-a)

F2 = γ B0

2
√

t

δ

[1 + δθs]3/2 (18-b)

F3 = 3γ B0

2
√

t

βδ

[1 + δθs]3/2 (18-c)

The preceding analysis may be extended to accommo-
date the presence of an oxide film on the contact surface

by replacing the thermal conductivity by an effective ther-
mal conductivity given by [11] as

keq = km

[
1 + ζ

lf

(
km

kox
− 1

)]−1

(19)

where ζ is the thickness of the oxide layer, lf is the
diffusion length in the metal, and the subscripts m and
ox denote the thermal conductivity of the metal and the
oxide, respectively. Note that keq inversely varies with the
thickness of the oxide layer.

Equations (16)–(18) incorporate an explicit depen-
dence on the thermal effusivity B0. In particular, each of
the quantities qdiss and the dilution vary in direct propor-
tion to the value of the effusivity. This indicates that, all
parameters being equal, a material that possesses a high
thermal effusivity will be able to diffuse a higher ther-
mal load than a material of a lower effusivity. Moreover,
from equations (17) and (18), a high thermal effusivity
may impose a high thermal dilution. This is not desirable
as higher dilution indicates a wide variation in the ability
of the material to diffuse thermal loads per unit surface
temperature rise. Naturally, the quantities B0, β and δ

are intrinsic to the particular material. As such, balancing
the effect of any of these parameters on heat diffusion, or
thermal dilution, is fairly constrained by physical limits.
However, it is envisioned that careful selection of mating
materials based on thermal compatibility criteria may aid
in this respect.

The functions F1, F2 and F3 represent the different
components of heat dilution. Thus, thermal dilution,
according to equations (18-a), (18-b) and (18-c), has
three components. The first, represented by F1, is due to
the variation in the thermal conductivity of the material
with temperature. The second, expressed as F2, is due to
the variation in the thermal diffusivity with temperature,
while the third component, the function F3, represents
a non-linear contribution due to the interaction of the
diffusivity and the conductivity coefficients. It is noted
that the dilution is a strong function of the temperature
coefficients β and δ. Therefore, the errors involved in
their evaluation will directly contribute to any uncertainty
entrained in the theoretical calculation of heat dilution.
Hence, the examination of the influence of the method
used in evaluating the temperature coefficients is in order.

In general, the errors involved in estimating β and δ

using linear regression for monotonic materials (i.e., ma-
terials for which the thermal properties display a single
behavior for the entire temperature range 0 < θ < θm) is
in the order ±0.5 % [20]. However, when the metal (or
alloy) exhibits a local maximum or minimum, infliction

575



H.A. Abdel-Aal

(a) (b)

Figure 1. The effect of the regression method on the accuracy of the temperature coefficients of commercially pure titanium.
(a) Variation in the thermal conductivity with temperature. (b) Variation in the thermal diffusivity with temperature.

TABLE I
Temperature coefficients for the thermal properties of commercially pure titanium.

Thermal diffusivity, m2·s−1 Thermal conductivity, W·m−1·K−1

Coefficient Temp. range, ◦C Coefficient Temp. range, ◦C
δave −1.14·10−5 0 < θ < 1 627 βave 0.000212 0 < θ < 1 627
δ1 −0.000314 0 < θ < 882 β1 −0.000413 0 < θ < 442
δ2 5.478·10−5 882 < θ < 1 627 β2 0.0004697 442 < θ < 1 627

point (e.g., titanium and zinc), linear regression using the
entire temperature range may result in considerable er-
rors. To minimize the errors involved, the conductivity (or
diffusivity) versus temperature plot is treated as a piece-
wise linear function. Thus, the respective temperature co-
efficients are determined for each segment of the curve.
This procedure is illustrated in figures 1(a) and (b), which
depict the variation in the thermal conductivity and diffu-
sivity of commercially pure titanium with temperature.
It will be noticed that the thermal conductivity exhibits
a local minimum value around 440 ◦C. Similarly, the dif-
fusivity exhibits a local minimum around 880 ◦C, a tem-
perature which is associated with a phase change from
a hexagonally packed α-structure to a BCC structure. For
each property, two curves were fitted. The first (denoted
average coefficient regression) was calculated assuming
that the entire property–temperature curve may be repre-
sented by a single line. This line is based on an average
temperature coefficient (β average for the conductivity
and δ average for diffusivity). The second fit (denoted
as 2 linear segment regression) is calculated by assum-
ing piecewise linear behavior. Thus, for each linear seg-
ment, a corresponding temperature coefficient was eval-

Figure 2. Effect of the temperature coefficients on the calcula-
tion of the thermal dilution for commercially pure titanium.

uated. The values of those coefficients and the associated
temperature range are summarized in table I.

The effect of using the temperature coefficients on cal-
culating the dilution for titanium is shown in figure 2.
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Thermal dilution was calculated using different combi-
nations of the temperature coefficients. It is noticed that
using the piecewise linear coefficients results in a dilution
curve that closely represents the physical behavior of the
material, that is, a curve which exhibits kinks at temper-
atures that are in close proximity to the original infliction
temperatures for the conductivity and diffusivity, respec-
tively.

4. RESULTS AND DISCUSSION

To examine the proposed connection between the
thermal properties and wear transition, two alloys were
studied: a nickel-based alloy (Ni-20Cr-2Al) and a cobalt-
based alloy (Haynes-188). Each alloy was tested for
fretting wear against like material by Bill [21, 22]. Test
conditions were as follows: frequency of 80.0 Hz, peak-
to-peak amplitude 75·10−6 m and a nominal applied
load of 1.47 N. Physical properties of the alloys are
summarized in table II [23], while table III provides
a summary of the wear volumes and the coefficients of
friction at different test temperatures.

For each of the examined alloys the three functions F1,
F2 and F3 were calculated. These are shown in figure 3(a)
(for the Ni-based alloy) and figure 3(b) (for the Co-based
alloy). The plots represent the normalized values of the
respective functions. The normalization is carried out
by dividing the value of each function, at the particular
temperature, by the value of the respective function at
room temperature. It is noted that for both alloys the
dominant function is F1 which represents the relative
effects of the conductivity variation on thermal dilatation.

As such, for the purpose of this work only the normalized
values of the function F1 will be correlated to wear data.

The analysis starts by calculating the difference be-
tween the heat transfer limit (HDC) of the material and
the generated heat qgen. This quantity, termed the resid-
ual heat qres, is then used to construct a ratio of residual
heat (RRH) qres/qgen versus temperature plot. The heat
generated at the interface is calculated from [24]

qgen(θ) = 2.7µσy(θ)UAr (20)

where σy(θ) is the temperature dependent yield strength
in MPa. This is calculated by interpolation between the
room temperature value and the value at the melting
temperature (σy = 0). Hence, σy(θ) = σ ◦

y (1 − θ/θm).
The RRH plot is then inspected for points where it
is equal to zero (implying that the HDC is equal to
the generated heat), or alternatively, where a change
in the slope takes place. The temperatures associated
with each point for the particular alloy are subsequently
correlated to the transition temperatures extracted from
the literature. Thermal aspects of the transition in wear
are then examined by analyzing the trends of RRH, the
thermal effusivity and the function F1 before and after
the calculated transition temperatures.

Figure 4 depicts the variation in the RRH (solid
lines, left scale) and the function F1 (dashed lines, right
scale) with temperature. The curves labeled I and II
were calculated using the value of the coefficient of
friction at room temperature (see table III) and at the
respective temperatures. The RRH values correspond-
ing to the temperature at which the friction coefficient
changes are plotted as discrete values. Curves III are
schematics sketched to indicate the anticipated behavior

TABLE II
Thermophysical properties of the studied alloys.

Alloy e·10−3, W·m−1·s−1/2 k0, W·m−1·K α0·106, m2·s−1 β, K−1 δ, K−1 Tm, K σy, MPa
Haynes-188 6.182 10.4 2.83 0.00161 0.00075 1 374 640
Ni-20Cr-2AL 5.744 11.3 3.87 0.00157 0.00037 1 400 570

TABLE III
Experimental fretting wear scar volumes and coefficients of friction [21, 22].

Material Temperature, ◦C
23 216 327 450 540 650 816

Haynes-188 W , mm ·10−5 31 7 3 2 7 2
COF 0.1 0.3 0.4

Ni-20Cr-2AL W , mm ·10−5 100 28 19 13 23 1 500
COF 0.1 0.15 0.2 0.3 0.4

577



H.A. Abdel-Aal

(a) (b)

Figure 3. Variation in the components of thermal dilatation (functions F1, F2 and F3) with temperature. The plotted values are
normalized by the room temperature values of the respective functions. (a) Variation of the functions for Ni-based alloy Ni-20Cr-2AL.
(b) Variation of the functions for Co-based alloy Haynes-188.

Figure 4. The variation in the ratio of residual heat RRH (solid
lines, left scale) and the function F1 (dashed lines, right scale)
with temperature.

of the RRH in the presence of an oxide layer. Transi-
tion points pertaining to the Co-based alloy are marked
by the letter T while those pertaining to the Ni-based al-
loy are identified by the letter S. Transition points that
are located within the discrete points on the plot are re-
ported as intervals. Thus, the graphically extracted tran-
sition temperatures for the Co-based alloy are 230 ◦C,
560 ◦C and 790 < θ < 825 ◦C, whereas those associated
with the Ni-based alloy are 435 ◦C, 500 < θ < 525 ◦C,
600 < θ < 625 ◦C and 800 < θ < 830 ◦C. Those val-
ues are in good agreement with the experimentally de-
termined temperatures (see table III).

Figure 5 entails two plots for each alloy: the variation
in the thermal effusivity with temperature (right scale)

Figure 5. The variation in the thermal effusivity with temper-
ature (right scale) and the ratio between the effusivity at the
particular temperature and the effusivity at room temperature
(left scale).

and the ratio of the effusivity at the particular temperature
to the effusivity at room temperature (left scale). Note
that at a temperature corresponding to T1, the Haynes-
188 exhibits a change in the slope of the effusivity. More-
over, the points T2, T3 and S1–S3 are located within
a temperature interval (525 < θ < 850 ◦C) at which the
effusivities of both alloys are approximately equal. Thus,
the wear behavior of the studied alloys may be di-
vided into three regions: initial wear reduction [0 ◦C–θT1,
0◦C–θS1], secondary (local) transition [θT1–θT2,
θS2–θS3], and primary wear transition [θT2–θ > θT3,
θS3–θ > θS4].

Initial wear reduction is associated with a change in
the sign of the RRH from a negative (indicating that
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HDC < Qgen) to a positive (indicating that HDC > Qgen).
This change corresponds to an initial growth period
where the oxide attempts to overcome the energy barri-
ers exerted by pressure, temperatures, and chemical com-
position of the alloys. The protective film starts discon-
tinuous and as its thickness and area grow, partial sepa-
ration between the rubbing materials will take place and
a decrease in wear volume will follow. The zone of oxide
formation is at the gas–oxide interface. The diffusion of
oxygen in oxides is lower than that of the metal in ox-
ides. Protective layer formation, therefore, requires the
metal ions from the matrix to diffuse outward through
the oxide layers. Since there is an abundance of oxygen
at the surface, the diffusivity of the material in the oxides
determines the growth rate. This means that the temper-
ature (or synonymously, the available thermal energy) at
the formation front and the length of the time through
which this energy is available will control the distance
the material atoms can travel. Thus, thermal energy that
is in abundance in combination to longer times of energy
availability will aid the growth of a protective oxide.

The secondary transition range for the Co-based al-
loy entails further reduction in wear volume. This is as-
sociated with a decrease in the available thermal energy
(RRH is positive). The energy decrease is compensated
by an increase in the intensity of frictional heat (i.e., con-
centration of thermal energy) within the contacting layer
as indicated by the increase in F1. Additionally, the ef-
fusivity of the alloy continues to increase with tempera-
ture. This implies an increase in the time interval through
which heat is retained within the contacting layer. In con-
trast, through the same interval the Ni-based alloy ex-
hibits an increase in the wear volume. Interestingly, at θS2
and θS3 the RRH is equal to zero. This indicates a bal-
ance between the HDC and the generated heat. Concur-
rently, heat intensity increases (note the considerable in-
crease in F1). The increase in F1 is also accompanied
with an increase in the effusivity, hence implying, again,
an increased specific time of thermal energy availability.
Therefore, the opposite wear behavior noted in this re-
gion may be attributed to nature of change in the func-
tion F1 with temperature. The change in F1 for both al-
loys promotes oxide growth through focusing the fric-
tional heat within the true area of contact. However, the
high intensification effect in the case of the Ni-based al-
loy will aid the growth of a thicker oxide film. The growth
of that film will cause the effective conductivity of the
film-substrate combination to drop (see equation (19)).
The drop in the conductivity will tend to insulate the
substrate. This will cause a considerable temperature dif-
ference between the film and the substrate. Now, since
the oxide has a different coefficient of thermal expansion

considerable stresses will develop at the boundary and
wear debris will detach from the material. The detach-
ment of wear debris will expose the underlying metal.
The freshly exposed material being of higher effusivity
and HDC than the oxide will admit a greater amount of
heat. This, in turn, will be retained within the contacting
layers for a longer period and an oxidative reaction will
be sustained and the oxide layer will be repaired. The rate
by which the oxide is repaired depends on the optimal
combination of F1 and effusivity (the determination of
that combination remains a subject of ongoing research).
It is worth noting that this self-repair characteristic was
observed by Bill [21] for the Haynes-188 alloy.

Contrasting wear behaviors were also noted in the
primary transition region. The increase in the HDC for
the Co-based alloy is greater than the corresponding
increase for the Ni-based alloy. This implies that a major
portion of the heat conducted through the interface for
the Ni-based alloy will be retained within the contact
layer. The heat will be highly intensified within a smaller
area due to the increase in F1 (compare the increase
in F1 for both alloys). Interestingly, for this particular
temperature range the effusivity of both alloys is equal.
However, the ratio of the effusivity for the Ni-based
alloy is higher than that for the Co-based alloy. This
indicates a higher resistance to abrupt changes to the
thermal state for the Ni-based alloy than that of the
Co-based alloy. The combination of increased intensity
and a higher resistance to thermal perturbations may
change the oxidation kinetics for this temperature range.
Again, this will promote the growth of a hard oxide film
on a softer metallic substrate, an occurrence that will
promote higher stresses that will cause the detachment of
wear particles. Detachment of wear debris will introduce
additional heat sources due to the rubbing of the debris
with the surface. This causes a decrease in the HDC
and a change in the slope of the RRH–temperature
curve. Continuous rubbing of the debris will increase the
coefficient of friction and will lead to higher release of
friction heat. The debris, themselves, will react with the
oxygen present at the surface. This will lead to a relative
decrease in the amount of oxygen available for an
oxidative reaction thereby, locally, slowing the growth of
the protective layer. Due to the reduction in the effective
conductivity, associated with the formation of the oxide,
the RRH curve will deviate from the calculated values,
probably following the schematic curves III. However, in
the absence of complete thermal characterization of the
oxides formed in the sliding of these particular alloys,
exact calculations cannot be performed.
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5. CONCLUDING REMARKS

This work suggests a connection between wear transi-
tion and the change in the heat transfer limit of a rubbing
material. The nature of change in the thermal properties
before and after the transition influences the thermal en-
vironment within the contacting layers. This controls the
kinetics of oxide formation and thereby controls wear.

An important factor is the function F1 which indicates
the intensity of thermal energy available within the
contacting layers. A high F1 value and a high effusivity
will promote the growth of a protective layer. The
protective layer will affect the effective conductivity of
the interface and may alter the thermal environment at
the contact zone.

There is a pressing need for the thermal characteriza-
tion of the oxides formed during sliding in order to quan-
tify the effect of an oxide film on the HDC of a material.
This will help to obtain an enhanced view of the thermal
aspects of wear transition.

It is acknowledged that other parameters influence
wear resistance at elevated temperatures. However, it is
postulated that thermal energy release in rubbing may
be crucial in providing an optimal heat environment for
wear resistance. That is, depending on the ability of the
rubbing pair to accommodate a sudden change in its
thermal state, ambient conditions may be conducive for
protective oxide formation and vice versa.
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